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Introduction Tubular structural members are a major area of interest within the field of steel and stainless steel structures and are preferred by many architects due to their aesthetic appeal [1] . In addition to the traditional family of Square, Rectangular and Circular Hollow Sections (SHS, RHS, CHS), Elliptical Hollow Sections (EHS) are available in both carbon [2] and stainless steel [3] . Among the advantages of hollow section members are their high stiffness about both principal axes, which makes them an attractive choice for compression members and their high torsional stiffness, which makes them efficient to resist torsion and lateral torsional buckling. Moreover, filling the tubular columns with concrete thereby creating composite columns (concrete filled tubes) possessing high strength, stiffness and ductility is an additional potential benefit [4, 5] . However, the closed nature of either bare steel or concrete filled tubular columns complicates the assembly of bolted connections, since hollow section columns allow access only from one side.
Several connection configurations for beam to tubular column joints employing angle cleats, fin plates and T-sections welded on the column face and bolted to the beam have been experimentally investigated [6] [7] [8] . It was demonstrated [8] that the minimum thickness of the column face should be related to the thickness of the fin plate to induce yielding of the fin plate prior to failure of the column face by punching shear. An alternative solution involving threaded studs welded to the tubular column was investigated by Maquoi et al. [9] . In addition to the low ductility exhibited by these connections, possible damage of the welded studs during transportation of the columns made this technique less favourable for practical applications [10] . More recently, Málaga-Chuquitaype and Elghazouli [11 conducted tests on and derived a component characterization for bolted connections utilising a reverse channel section welded on the tubular column face and concluded that this joint configuration possesses high ductility, but its strength and stiffness are adversely affected by the strength and stiffness of the channel section. The use of strengthening measures in the form of external diaphragm plates (i.e. collars) welded to concrete filled CHS or SHS was experimentally and numerically investigated [12, 13] , whilst the response of joint configurations involving the use of through plates and stiffeners has also been studied [14, 15] for both empty and concrete filled tubular columns. The use of through section beam joints, where slots with the shape of the beam section are made on the column to allow the connected beam to pass through has also been explored for concrete filled tubular columns [16] . Other less fabrication-intensive connection details have also been explored involving various bolting techniques. A conceptually simple bolted connection involving bolts long enough to go through the column section has been experimentally investigated by Hoang et al. [17] for concrete filled SHS. However, the resulting connection detail is difficult to execute on site and could induce additional cost.
The use of bolted connections on site is desirable provided that the resulting details are easy to execute on site and result in good structural performance. To this end various types of the socalled blind-bolted connections allowing bolted connections to be assembled without requiring access to both sides of the bolts have been developed. A review on past research on various types of blind-bolted connections can be found in [11, 18] . Among the various types of available fasteners for the execution of blind-bolted connections, the use of Hollo-bolts is considered in the present study, as Hollo-bolts are readily available in stainless steel and they have been widely researched both experimentally and numerically. The response of the Hollo-bolt in tension as well as the strength and stiffness of T-stubs employing Hollo-bolts was numerically investigated by Wang et al. [19] , who developed an analytical predictive model. Elghazouli et al. [18] connections under predominantly shear [20] or axial [21] loads. The findings suggest that in general the angle dimensions and the thickness of the column face significantly affect the response characteristics. Design equations for the strength and stiffness of both the Hollo-bolt and the column face in bending according to the component-based approach were developed by Málaga-Chuquitaype and Elghazouli [22] . Wang and Wang [23] conducted a series of experimental and numerical studies on T-stubs bolted on SHS with Hollo-bolts subjected to tension, thus idealising the response of the tension region of a moment resisting connection. Moreover, they gave a comprehensive overview and assessed the accuracy of relevant design methods for the prediction of the strength of the column face of a tubular column in bending [24] [25] [26] . Additional research aiming to improve the performance of blind-bolted joints led to the development of the Extended Hollobolt (EHB), specifically designed for concrete infilled columns [5, 27, 28] , as the bolt extension provides an anchor in the concrete leading to the bolt developing its full tensile strength as opposed to the alternative where the blind bolt pulls out prematurely.
All of the aforementioned studies have exclusively dealt with conventional carbon steel joints.
Research on stainless steel joints is very limited, even though the high ductility and significant high strain-hardening of stainless steel is expected to significantly affect their strength and overall response. Experimental research on stainless steel joints has primarily focused on bolted and welded lap joints at room temperature [29] as well as at elevated temperatures [30, 31] . Departing from studies on simple lap joints, Feng and Young have extensively investigated the structural behaviour, fatigue and failure modes of welded connections between empty and concrete filled stainless steel tubular (RHS/SHS) members representative of typical truss joints between the chord and diagonal members [32] [33] [34] [35] .
An attempt to study numerically the response of top and seat cleat stainless steel beam-to-column joints was recently reported by Hasan et al. [36] , however, the validation of their model was based on existing carbon steel experimental results, and unverified assumptions regarding the material response and the interaction of the various stainless steel components. Elflah et al. [37] reported the only available experimental study to date on stainless steel beam-to-column joints, which they complemented a comprehensive numerical study [38] , whilst a comprehensive experimental study on the structural response of austenitic and duplex stainless steel T-stubs in tension has been conducted by Yuan et al. [39] . Finally, Tao et al [40] recently published a paper on the response of blind-bolted beam-to-concrete filled stainless steel tubular column connections. 4 SHS and 3 CHS concrete filled stainless steel sections were tested under monotonic or cyclic loading with or without the presence of a concrete slab. All tested joints involved a concrete-filled stainless steel column and hence do not lend themselves for the assessment of design provisions for stainless steel joints, as the presence of concrete slab and the interaction of concrete infill and blind bolts complicate the response and affect the developed failure modes.
This brief literature survey highlights the need for full-scale tests on stainless steel beam-tocolumn joints, given the current worldwide trend towards sustainability, which is expected to favour the more widespread use of stainless steel in construction [41] . In order to complement the currently very limited research on stainless steel joints, this paper reports, for the first time, a systematic experimental and numerical study on stainless steel beam-to-tubular column joints. The experimental and numerical studies reported herein, as well as in [37] [38] [39] are an important step towards the assessment of the suitability of current design provisions of EN 1993-1-8 [42] , which were originally derived for and are based on the response of carbon steel joints. It is envisaged that certain restrictions of EN 1993-1-4 [43] , as for example the fact that plastic global analysis is currently not allowed in the absence of experimental evidence as "there should be evidence that the joints are capable of resisting the increase in internal moments and forces due to strain hardening" can be overcome and novel design provisions in line with the observed response will be developed.
2
Experimental studies
Specimens
All tested beam-to-tubular column specimens employed a fabricated stainless steel I-section with an outer depth h of 240 mm a flange width b of 120 mm, flange thickness t f equal to12 mm and web thickness t w equal to 10 mm (i.e. I 240×120×12×10) for the beam at the end of which the load was applied. Two square hollow sections (SHS) with the same outer dimensions (150×150 mm) but different wall thickness (6mm or 10 mm) were employed as columns. Three connection typologies often employed in steel structures (e.g. steel buildings), have been selected and are studied herein. These are the flush end plate connection (FEP), the top and seat angle cleat connections (TSAC) and the top, seat and double web cleat connection (TSWAC). To minimise cost, the same beam sections were used for the TSAC and TSWAC specimens. To mitigate any adverse effect on the response of the specimens due to reusing the beams, the tests on the TSAC sepcimens which were subjected to overall smaller forces were first conducted. As expected, due to the selected beam size compared to the conneciton details, all plastic deformations were limited in the top and seat angle cleats, the column face and the blind bolts with the beam remaining virually intact and elastic for both TSAC tests. Upon inpsection there was no permanent deformation in the compressed flange of the beam and no ovalisation of the bolt holes of the beam. All fillet welds between the end plates and the I-sections of the FEP specimens had a specified minimum throat thickness of 6 mm and were manufactured using the TIG welding process with ER 308 filler rod.
To induce variations in the obtained structural response and observed failure modes for each joint typology two specimens were tested: one where a thicker (10 mm) SHS was connected to the beam via thinner end plates/angle cleats (specimen 1) and one with a relatively thin-walled (6 mm)
SHS was connected to the beam via thicker (10 mm) end plates/angle cleats thus promoting failure of the column face (specimen 2), as shown in Fig. 1 where the geometry of the tested specimens is reported. All tested joint typologies fall within the semi-rigid range when classifying connections with respect to stiffness. With respect to connection classification according to strength, all of the tested connections were designed to be partial strength so that failure of the connection occurs prior to failure of the connected members. With the exception of specimen TSAC-1, which failed marginally below 25% of the plastic moment resistance of the connected beam (112 kNm) and is hence classified as nominally pinned, all other joints reached higher moments and are hence classified as semi-rigid.
As in the experimental programme reported in [37] , M16 in Grade A80 stainless steel bolts have been used in 18 mm clearance holes to connect the angle cleats to the beam section. Since access from one side only was available when bolting the angle cleats or end plates to the column, stainless steel Hollo-bolts were used to facilitate blind-bolted connections. All Hollo-bolts used were M16 in Grade EN 1.4401. In accordance with the specifications by Lindapter [44] , 26 mm clearance holes were drilled to accommodate the 25.75 mm outer diameter of the sleeve.
Material response
The material response of the I-sections used as beams, the angle cleats and the conventional bolts connecting the angle cleats to the beams has been reported in [37] . As part of the experimental programme reported herein, additional material coupons were tested in tension to characterise the material response of the columns, the end plates and the flared sleeves of the Hollo-bolts.
The failure mode of connections involving Hollo-bolts, usually involves pulling out of the Hollobolt upon significant bending of the flaring sleeve. Hence the highly nonlinear response and the deformation of the Hollo-bolts is attributable primarily to plastic bending of the sleeve [19] . Being the most important (i.e. experiencing the highest stresses and deformations) part of the Hollo-bolt connection, the material response of the sleeve requires special consideration. For this reason, a 4 ×3.5 ×41 material coupon was extracted from the sleeve and tested in tension. The sleeve dimensions were such that a strain gauge could be marginally fit within its width, whilst the crosssection was small enough to limit the force the coupon would be subjected to given the limited length over which it was clamped. Coupons were also extracted from the same length of tubes used as columns and from the plates from which the end plates were machined. Both flat and corner coupons were extracted from both SHS (i.e. SHS 150×150×6 and SHS 150×150×10) employed in the joint tests. Since the focus of this study lies in the joint response, flat coupons were extracted only from the column face to which the beam was connected and from an adjacent corner to that face. Tables 1 and 2 respectively, where E is the Young's modulus, σ 0.2 , σ 1.0 and σ u are the 0.2% proof stress, the 1% proof stress and the ultimate tensile stress respectively, ε f is the strain at fracture and n and m are the strain-hardening exponents of the two-stage Ramberg-Osgood law commonly employed to approximate the material response of stainless steel [46, 47] .
Significant discrepancies in the obtained material responses as quantified in terms of the reported proof stress and ultimate tensile stress values can be observed, particularly for the SHS 150×150×10 section, the σ 0.2 of which is seen to be 50% higher in Table 2 compared to the value reported in the mill certificates. Smaller discrepancies are observed for the ultimate tensile stress. This is attributed to the cold-forming process, which significantly alters the material response and enhances the proof stress and ultimate tensile stress values of cold-formed stainless steel sections, compared to the ones of the virgin material from which the sections were rolled [48] . Additional reasons for the observed discrepancies between values reported in the mill certificates and the ones obtained from this study for proof stresses, ultimate tensile stress and strain at fracture may be attributed to potential differences in material orientation and applied strain rates [49] when the tests were conducted [37] , as was previously observed for austenitic stainless steel I-sections [50] . connected to the lab's strong floor that restricted both rotations and translations, whilst the horizontal deformation of the top end of the column was also restricted through its attachment to a reaction frame. The load was applied at the beam end, which was also restrained against twisting.
Setup, instrumentation and load application
LVDTs were extensively used to monitor the displacements (or to ensure that there are no displacements -L7 and L10) at key locations of the specimens as shown in Fig. 4 , thus allowing the rotations of both the beam and the column in the vicinity of the joint to be determined. Strain gauges were employed to monitor the evolution of strains in critical locations of the connections with increasing loading. The location and numbering of the strain gauges affixed on the end plates and angle cleats of the tested specimens is shown in Fig. 5 . No strain gauges were affixed on the column face of the columns as they would have been damaged by the end plates/angle cleats in contact.
A 400 kN hydraulic actuator with a maximum stroke of 250 mm was used in all tests to apply the load at the beam end, 1.47m from the column face. A constant loading rate of 1.5mm/minute was adopted to obtain the quasi-static response of the joints and eliminate any potential strain rate effects, whilst the loading procedure was halted for at least 2 minutes at regular intervals to visually inspect the specimen and check the recorded results for consistency. A slower loading rate of 1mm/min was applied when significant inelastic deformations developed in the joints, primarily due to concerns relating to a potential sudden bolt pull-out. Clearly in any test on connections the strain rates experienced by various parts of the specimen will vary significantly as different parts of the joint will be subjected to different (or even zero) strains. The adopted loading rate resulted in low strain rates at the extreme fibres of the beam and also in regions of the connection with high stress concentration, as can be deduced from the strain-rotation graphs reported hereafter. It is thus believed that the obtained results are representative of the static response of stainless steel joints.
The tests were terminated once significant joint rotations and inelastic deformations occurred in either the column face or the end plates and angle cleats. A joint rotation of 105 mrad, 3 times the minimum rotation value of 35 mrad required by EN 1998-1-1 [51] for dissipative joints in structures characterised as ductility class high (DCH), was deemed high enough for all intents and purposes, whilst it also suffices to characterise the joints' response in terms of both stiffness and strength.
Results and discussion
The applied moment is determined as the applied force times 1.47, whilst the corresponding joint rotation is defined as the rotation of the beam end Φ b minus the recorded column shear panel rotation Φ c , both of which are determined from the LVDT readings. As discussed in [37] , the three pairs of LVDTs (i.e. L1 -L2, L3-L4 and L3-L1) that can be used to deduce the beam rotation (i.e. rotation equals the difference of the LVDT readings divided by the distance between the LVDTs), yield identical results in all cases. Table 3 reports a summary of key parameters pertinent to the connection response, which allows the behaviour exhibited by the tested connections to be quantified in terms of rotational stiffness and strength (plastic moment resistance), thus facilitating the discussion and the comparison of the response of the tested joints with design predictions. The key parameters reported in Table 3 include the observed failure modes, the initial rotational stiffness S j,ini , the pseudo-plastic moment resistance M j,R and the maximum recorded moment M j,max , which is a lower bound for the actual ultimate moment that the joints could attain. Similar to [37] , the initial stiffness S j,ini was determined by means of regression analysis of the linear part of the moment-rotation curve, prior to the development of any plastic deformations. Where the initial linear part was preceded by a nonlinear region due to the existence of gaps between the bolts and the clearance holes, the nonlinear region was ignored and the regression analysis was conducted on the linear part of the curve. The pseudo-plastic moment resistance M j,R of each specimen was obtained from the intersection between the initial elastic stiffness and the line tangent to the hardening part of the curve. The ratio of the maximum recorded moment resistance M j,max over the plastic moment resistance M j,R (i.e. overstrength) can be considered another quantifiable measure of ductility and ranges from1.76 for specimen TSAC-2 to 2.45 for specimen TSWAC-1. As previously stated, the recorded maximum moments are not the maximum achievable moments by the tested joints but a conservative lower bound. Nonetheless on average the tested specimens exhibited a recorded maximum moment twice their plastic moment resistance with a coefficient of variation of 0.14. The consistently high overstrength values together with achieved rotations in excess of 105 mrad indicate the inherent ductility of the tested stainless steel joints. A detailed discussion of the obtained results follows for each joint configuration tested.
Since the tests were not conducted to failure, the term failure mode is used herein as synonymous to observed localisation of plastic deformation. Fig. 5 . In accordance with the sign convention adopted in [37] , tensile strains have been assigned a negative sign, whilst compressive strains have been assigned a positive sign. Fig. 8(a) reveals that high plastic tensile strains occur in locations 1, 2, 3 of specimen FEP-1 which were located the farthest from the centre of rotation of the joint and accord well with the deformation mode (i.e. bending) of the plate shown in Fig. 4.7 (a) . On the contrary, Fig. 8 (b) shows that only small elastic strains developed in the end plate of specimen FEP-2, as observed in Fig. 7(b) . , with specimen TSWAC-1 exhibiting higher strains than specimen TSWAC-2 in location 6, since the web cleat of TSWAC-1 deforms significantly more. As in the case of the TSAC specimens, a marked difference can be observed in the evolution of strains in location 4 for both specimens, with specimen TSWAC-1 experiencing high compressive strains due to bending of the vertical leg of the top cleat, whilst the strain in location 4 in specimen TSWAC-2 is very small. A similar trend is observed for the evolution of strains in location 8.
3
Numerical studies
Development of FE model
In parallel with the experimental studies, nonlinear three dimensional finite element models were developed using the general purpose FE software ABAQUS and validated against the previously reported experimental tests. To this end, the measured geometry and material properties reported previously have been utilised, whilst the employed support conditions reflected the ones used in the tests. All joint components were discretised with the eight-noded (hexahedron) 3D solid element C3D8R with reduced integration, except for the welds between the end plate and the beam, which were simulated using tie constraints. A finer mesh density was employed in areas of high stress gradients (i.e. angle cleats, near the bolt holes etc), whilst 3 elements were used through the thickness of each component as discussed in [38] . Following past studies on the response of stainless steel members [52] , the material properties of corner regions were assumed to extend up to 2 times the thickness into the flat region of the tubular column faces; hence the corner regions and their vicinity were assigned the corner material properties, whilst the flat parts of the tubular columns were assigned the flat material properties reported in Table 2 . In accordance with [38] , the measured material properties reported in Table 2 were used to define the parameters of a 2-stage Ramberg-Osgood approximation [46, 47] of the recorded stress-strain response, using the traditional Ramberg-Osgood curve up to σ 0.2 and a similar curve thereafter up to σ u [47] . Contact was assumed as hard in the normal direction, whilst the penalty method with a friction coefficient equal to 0.3 was used to simulate contact in the tangential direction, in accordance with the modelling assumptions reported in [38] .
To reduce computational time, the threaded geometry of the bolt shank of standard bolts was simulated as a smooth cylinder with a cross-sectional area equal to the stress area of the real bolts, whilst similar assumptions were made for the bolt heads and nuts, which were modelled as cylindrical. Given the complex geometry of the Hollo-bolt and the various interacting part it comprises, a pragmatic approach was followed, and the geometry of the various parts was simplified without compromising accuracy. The bolt shank was assumed to be prismatic, whilst a smooth geometry was assumed for the sleeve and the cone as well. The geometric idealisation of the various components of the Hollo-bolt is shown in Fig. 15 . Small sliding contact formulation was assumed at the interface between the sleeve and the cone and the sleeve and the bolt shank, since no sliding is expected or has been observed between the various parts of the Hollo-bolt. The external surface of the bolt and the internal surface of the cone were tied together via a tie constrain to simulate the clamping effect that the presence of the threads would have had and prevent any relative deformation between the cone and the shank on which it is screwed.
For simplicity, the application of the tightening torque and the plastic deformation of the sleeve from its initial undeformed to its final configuration was not explicitly modelled. Instead the final geometric configuration that the bolt sleeve assumes once the required preload value is applied has been simulated and the flaring of the sleeve was assumed to match the angle of the cone in accordance with similar studies [19] [20] [21] . Not accounting for the actual deformation of the sleeve may lead to inaccuracies due to deviations of the actual geometry of the sleeve from the idealised one and the deformation history of the sleeve affecting its material properties. Wang et al. [19] conducted a sensitivity study on the effect of the actual geometry of the flaring sleeve and determined that the effect of a variation of the flaring angle of the sleeves by as much as 20 0 from the nominal angle of 15 0 does not lead to any appreciable difference in either stiffness or strength of the bolt, whilst past studies [19] [20] [21] have indicated that satisfactory replication of experimental data can be achieved without due account of the actual stress state of the sleeve at the beginning of the simulation. Contrary to the standard bolts, which were hand-tightened, the Hollo-bolts were preloaded with a torque of 190 Nm to deform the sleeve in the desired geometric configuration and enable the blind-bolted connection to be formed according to the manufacturers guidelines.
Hence, although the geometry of the sleeve was modelled in its final configuration, application of the preload on the bolt shank has been explicitly simulated as bolt preload has been shown to significantly affect the obtained stiffness of bolted joints [39] . To incorporate the effect of preloading in the analysis, the analysis was divided into three sequential steps, for each of which a nonlinear static analysis was performed:
1. All Hollo-bolts were pre-tensioned by using the bolt load functionality of ABAQUS 2. The length of the Hollo-bolts was fixed at the end of the first step by using "bolt length control" option.
3. A point load was applied at the end of the beam.
Model validation
The accuracy of the numerical models is quantified and assessed in terms of the initial rotational stiffness S j,ini , the plastic moment resistance M j,R and the maximum recorded moment at the rotation at which the tests were terminated M j,max . Table 4 provides where the ratio of the numerical predictions over the respective experimental values. Except for specimen FEP-2, the initial rotational stiffness of which was poorly predicted, a very close agreement between the experimental and the numerically determined initial rotational stiffness is observed. The reported high coefficient of variation of 0.28 reduces to 0.07 if joint FEP-2 is not considered. The drastic improvement of the FE predictions for the tubular column joints in terms of the initial rotational stiffness compared to the respective models for the beam-to-open column joints [38] is believed to be related to the applied preload of the Hollo-bolts, which effectively removed any gaps between the various connected parts. Bolt preloading eliminates any gaps between the connected parts thus allowing all components of the connection to be effective from the onset of loading and reducing the effect of fabrication tolerances on the initial rotational stiffness and making the joint rotational stiffness easier to predict.
In terms of plastic moment resistance, the FE models are seen to consistently underestimate the experimental plastic moment resistance by approximately 8%. This is deemed accurate enough to proceed to parametric studies, given the differences of the procedure by which the experimental and numerical M j,R is determined [37, 53] . Finally, the moment at the maximum applied rotation is reasonably well predicted. A detailed comparison between the experimental and numerical results in terms of obtained failure modes and overall moment-rotation response is given in Figs. 16 and   17 respectively where a very close agreement between the two can be observed. It is noted that, as observed in Fig. 17 (b) , the numerical curve does not accurately capture the initial response of specimen FEP-2 and significantly underpredicts its stiffness, but the agreement between the two curves drastically improves with increasing rotations and the two curves practically coincide beyond a rotation of 20 mrad. The higher rotational stiffness exhibited by the test specimen may be attributed either to experimental errors or to a higher preload accidentally applied to some of the Hollo-bolts.
Parametric studies
Upon validation of the FE models, parametric studies were performed to enable the study of the behaviour of austenitic stainless steel connections over a wide range of geometric configurations and highlight the influence of key joint details on the overall response. The beam-to-tubular column joint typologies against which the FE models were calibrated, namely FEP, TSAC and TSWAC are employed in the parametric studies. In all cases the experimentally determined material response was adopted for the bolts and the connected members. The investigated parameters include the thickness of the end plate/angle cleats t p /t a , the thickness of the tubular column t c , the bolt edge distance e 2 
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Results and discussion Fig. 18 shows the effect of each of the investigated parameters on the structural response in terms of the obtained moment rotation curve. As expected, increasing the lever arm z, or the edge distance e 2 , leads to a marked increase of both the strength and the stiffness of the connections.
Effect of key parameters on joint response
Increasing the end plate thickness t p also increases the strength and the stiffness of the joints by increasing the resistance of the equivalent T-stub [42] . However, the effect is less pronounced as increasing the end plate thickness beyond a certain value (beyond 12 mm for the parameter range On the other hand, the effect of bolt edge distance e 2 is negligible since, contrary to the end plate connections, the edge distance does not affect the effective leg of the equivalent T-stub, which is in agreement with the design provisions of EN 1993-1-8 [42] . Changing the column face thickness t c only has an effect when the column face becomes weaker than the angle cleat and hence the failure mode is shifted from the cleat to the column face, thus resulting in different response, as can be seen in Fig. 19 (c) , where except for the lower curve, all other curves are identical. Similar observations can be made for TSWAC joints, as can be seen in Fig. 20 .
Assessment of design predictions for blind-bolted joints
In all subsequent calculations the measured geometric and material properties are used for the joint components and all safety factors were set to unity. For specimens FEP-1 and TSAC-1 the behaviour of which is governed by bending of the end plates and angle cleats respectively, the design provisions codified in EN 1993-1-8 [42] are used to predict the joint moment resistance, whilst for specimen TSWAC-1 the recommendations by Pucinotti [54] , which extend the scope of application of the EN 1993-1-8 [42] are used in accordance with previous studies [37, 38] . For specimens the response of which involves plastic bending of the column face, Eq. (1) has been employed for the determination of the plastic resistance of the column face component, which is specified in SCI/BCSA [26] .
(1)
where σ y is the material yield stress, p is the bolt pitch distance, β 1 
where E is Young's modulus, z is the lever arm of the joint and k i is the component stiffness of each relevant component as defined in [42] .
In Table 5 the predicted analytical values for stiffness and strength of the tested joints are compared against the experimental ones. On average the stiffness predictions overestimate the experimentally determined stiffness by 35% with a coefficient of variation of 0.50, thus indicating the inaccuracy of the stiffness predictions. Similar conclusions were reported [36] and [37] . In terms of the pseudo-plastic moment resistance predictions M j,R of the joints, in all cases the design predictions yield overly conservative results. The predicted-to-experimental ratio for the moment resistance is on average 0.50 with a coefficient of variation 0.18. A similar level of conservatism of the EN 1993-1-8 [42] design predictions was reported for stainless steel T-stubs in tension by [39] and for stainless steel beam-to-column joints reported [37] , where the predicted-overexperimental resistance was 0.51 and 0.53 respectively with a coefficient of variation of 0.13 in both cases.
Similar conclusions can be drawn when the 54 FE results are used to assess the stiffness and strength predictions for stainless steel beam-to-tubular column joints, as shown in Table 6 . The stiffness is well predicted for the FEP joints, whilst it is over-predicted for the TSAC and TSWAC joints. In terms of the plastic moment resistance, the predictive models yield significantly and consistently conservative results with a mean ratio of the predicted over the numerical moment resistance ranging from 0.42 to 0.66 and a small coefficient of variation (0.09 to 0.13). Similar conclusions were drawn in [36, 38] , where the stiffness predictions were generally scattered, whilst the strength predictions were consistently conservative. The conservative moment capacity predictions for stainless steel joints are due to the fact that predictive models limit the maximum attainable stress value to the nominal 0.2% proof stress σ 0.2 . Joints generally experience high deformations and strains when their response is governed by a ductile failure mode such as bending of the end plate, angle cleat or column flange, hence the pronounced strain-hardening of stainless steel leads to significantly higher attainable stresses. Possible remedies of this shortcoming include the adoption of a material model incorporating the effect of strain-hardening when determining the design resistance of each connection component and allowing stresses in excess of the nominal yield stress to be attained provided the corresponding failure mode is ductile.
Conclusions
Owing to the lack of available experimental data on stainless steel connections, current design rules [42] are based on assumed analogies with carbon steel design, thereby neglecting the high ductility and pronounced strain-hardening exhibited by stainless steels. This paper addresses this gap in knowledge and reports a systematic experimental and numerical study on stainless steel beam-to-tubular column joints that allows for a better understanding of their behaviour and the assessment of current design approaches for both strength and stiffness. Six full-scale beam-totubular column connections in austenitic stainless steel have been reported in detail. The tested specimens were designed such that different failure modes developed, thus allowing a wide range of structural responses to be experimentally studied. In all cases the joints exhibited significant inelastic deformations with recorded rotations more than 105 mrad, far beyond the limit of 35 mrad required for dissipative joints in structures classified as DCH (ductility class high). The achieved rotations are deemed sufficient to obtain both the initial rotational stiffness and the joint moment resistance M j,R , whilst the rotation capacity recorded is clearly a lower bound of the available rotation capacity of the joint.
In parallel, advanced FE models able to accurately simulate the overall moment-rotation response and failure modes of stainless steel beam-to-tubular column joints were developed and validated against the reported experimental data. The validated models were used to generate 54 numerical data on stainless steel joints. Based on both experimental and numerical results, design predictions for stiffness and plastic moment resistance were assessed. In all cases the predicted joint moment resistance was significantly underestimated, whilst the stiffness predictions were inaccurate.
Similar conclusions were drawn in [36] [37] [38] [39] for stainless steel beam-to-open section column joints.
It is thus concluded that the development of more efficient design guidance for stainless steel beam-to-tubular column joints, which allows for the explicit incorporation of strain hardening in the design procedure in line with the observed structural response, is warranted. 
